Forces acting on the shear plane and the tool with assumed resultant stress distributions on the tool rake face are given in Fig.  1 . Johnson-Cook workpiece material model ͓1͔ based formulation of modified Oxley's parallel sided shear zone theory ͓2͔ is utilized in determining the forces on the shear plane F S , F NS , F Cs , and F Ts as detailed by Karpat et al. ͓3͔. When it is assumed that the worn flank face is parallel to the cutting direction, the actual ͑measured͒ cutting forces in the cutting and thrust directions F C and F T during machining are the superposition of the wear forces and the cutting forces from shearing. These forces can be expressed as in Eq. ͑1͒ as suggested by Thomsen et al. ͓4͔ for the case of zero clearance angle.
Force and Stress Distribution Modeling for a Worn Tool
Forces acting on the shear plane and the tool with assumed resultant stress distributions on the tool rake face are given in Fig.  1 . Johnson-Cook workpiece material model ͓1͔ based formulation of modified Oxley's parallel sided shear zone theory ͓2͔ is utilized in determining the forces on the shear plane F S , F NS , F Cs , and F Ts as detailed by Karpat et al. ͓3͔ . When it is assumed that the worn flank face is parallel to the cutting direction, the actual ͑measured͒ cutting forces in the cutting and thrust directions F C and F T during machining are the superposition of the wear forces and the cutting forces from shearing. These forces can be expressed as in Eq. ͑1͒ as suggested by Thomsen et al. ͓4͔ for the case of zero clearance angle.
It has been observed by many researchers that flank wear does not affect the shear angle; therefore, superposition of forces due to flank wear and shearing forces is widely accepted. However, there is still doubt about the validity of this approach. Thomsen et al. ͓4͔ reported significant plastic flow below worn tool flank when a negative clearance angle exists but for zero clearance angle wear land does not affect the shearing mechanism. In contrast, Shi and Ramalingam ͓5͔ considered plastic flow conditions at the tool flank in their proposed slip-line field and concluded that flank face cannot be taken parallel to the cutting direction. Later, Waldorf ͓6͔ combined this model with the findings of Thomsen et al. ͓4͔ related to the worn flank face may becoming parallel to the cutting direction and extended to round edge tools that form sharplike edges after stable buildup. Waldorf's approach is used by many other researchers such as Huang and Liang ͓7͔, Smithey et al. ͓8͔, and Song ͓9͔ . In this study, we adapted Waldorf's model to obtain stress distributions under the flank wear area which determine nonuniform heat intensities between the flank and workpiece interface.
The cutting forces due to tool flank wear can be found by integrating w and w over the tool flank wear land as in Eq. ͑2͒.
where w is the width of cut, VB is the length of wear land, and x is the distance from tool tip. In Waldorf's ͓6͔ model, the stresses at flank face are defined according to the length of the wear land, and for small values of flank wear, elastic contact between tool and workpiece exists. In this state, the stresses are modeled to have a polynomial shaped distribution as shown in Fig. 1 . However, when the flank wear reaches critical wear land length ͑VB * ͒ at which the plastic flow begins, the stress distributions take another form. Therefore, if VB Ͻ VB * then elastic contact is present, but if VB Ͼ VB * then plastic flow of the workpiece will be present at the front edge of Contributed by the Manufacturing Engineering Division of ASME for publication in the JOURNAL OF MANUFACTURING SCIENCE AND ENGINEERING. Manuscript receivedthe wear land, and elastic contact will be present at the back of the wear land. Determination of this critical tool wear value requires experimental observations. The tool tip stresses 0 and 0 required to define w ͑x͒ and w ͑x͒ are shown in Fig. 1 .
For elastic contact ͑VB Ͻ VB * ͒ and VB 0, the stresses at the tool flank face are given by
are determined from the slip-line field given in Waldorf ͓6͔. p is the slip-line angle for friction on stable buildup. The friction factor m p is the ratio between the shear stress on the tool flank face and the shear flow stress of the workpiece k, which is found by using work material constitutive equation as explained in Part I. The variable is the prow angle, which is the inclination of uncut workpiece surface. The prow angle is usually negligible and in some cases can be taken as zero.
When plastic flow is present ͑VB Ͼ VB * ͒, the stresses at flank face are as follows:
where w is the slip-line field angle. The friction factor m w , under plastic contact conditions at the flank face, is close to unity. If the tool flank stresses w and w in Eq. ͑3͒ and ͑5͒ are substituted into Eq. ͑1͒, the cutting forces due to flank wear can be predicted for known values of shear flow stress and shear angle. Consequently, the stress distributions given in Fig. 1 are multiplied with cutting velocity and are used to determine nonuniform rubbing heat intensities at the flank-workpiece interface. 
Thermal Modeling of the Cutting Process for Worn Tools
In this section, thermal modeling of orthogonal cutting with a sharp tool ͑presented in Part I͒, has been extended to worn tools in order to determine forces, stresses, and temperature distributions which may enable us to further examine the effects of worn tools on workpiece surface integrity. Along with shear zone and frictional heat sources, a third heat source stemming from rubbing between tool and workpiece is added to the model as shown in Fig. 2 .
Primary shear zone is modeled as a uniform moving oblique band heat source; secondary shear zone, a frictional heat source, is treated as a nonuniform moving band heat source within a semiinfinite medium on the chip side and as a nonuniform stationary rectangular heat source within a semi-infinite medium on the tool side. Rubbing heat source is modeled as a nonuniform moving band heat source on the workpiece side and a nonuniform stationary rectangular heat source on the tool side.
Although many studies have been devoted to thermal modeling of machining, few studies have been conducted on worn tools. Worn tool thermal modeling studies started with Chao et al. ͓10͔, but in their study the effect of primary shear zone was not considered. Recently, Wang and Liu ͓11͔ and Chou and Evans ͓12͔ studied the microstructural changes on the workpiece caused by tool wear by using analytical thermal modeling to predict the detrimental effects of tool wear on surface integrity properties of the workpiece. Huang and Liang ͓6͔ studied the effect of machining conditions on tool wear and proposed a thermal model based on Carslaw and Jaeger's ͓13͔ work. In their model the lower surface ͑in contact with tool͒ and upper surface of the chip are considered adiabatic. Komanduri and Hou ͓14͔ pointed out the importance of heat transfer from the lower surface of the chip to the tool and this effect is modeled as induced stationary heat intensity on the tool rake face. In Part I of this paper, it has been shown that the temperature in the primary shear zone and its induced temperature rise effect on the tool-chip interface can reach 200-300°C. In this study, the effect of primary shear zone on the flank face of the tool will again be considered as an induced stationary heat source on the tool flank face.
The objective of the present study is to obtain temperature distributions in the workpiece, chip, and tool under the effect of tool flank wear. It is assumed that: ͑1͒ The temperature distributions on the interfaces are the same, which enables the calculation of the heat partition ratios; ͑2͒ the upper surface of the chip, the uncut surface of the workpiece, the tool side of tool-chip interface, and the tool side of tool-workpiece interface are considered adiabatic; ͑3͒ the temperature distributions are in steady state; ͑4͒ heat losses along tool-chip and tool-workpiece interfaces are omitted and it is assumed that all the deformation energy in the primary shear zone is converted into heat energy; ͑5͒ all the heat sources are plane heat sources and possible crater wear at the secondary shear zone does not affect the temperature distribution; ͑6͒ heat intensities and heat partitions are modeled as nonuniform and as a function of distance on the interfaces; and ͑7͒ the angle between tool flank and rake face is taken as 90 deg in formulations. Since the flank face is assumed to be parallel to the workpiece surface according to Waldorf's ͓6͔ model, this assumption imposes a zero rake angle on the tool. For tools with large positive or negative rake angles, the thermal model equations and coordinate transformations should be modified accordingly.
Modeling of Temperature Rise in the Chip.
The thermal modeling of the primary shear zone and tool-chip interface presented in Part I of this paper is repeated here. Hence, the temperature rise at any point on the chip due to primary heat source can be found by Eq. ͑7͒ with the coordinate system given in Fig. 4 of Part I. In this equation, l AB is the length of shear zone, is the shear angle, ␣ is the rake angle, V c is the chip velocity, t c is the cut chip thickness, a c is the thermal diffusivity constant, c is the thermal conductivity constant of the chip, l c is the tool-chip contact length, and ͑X , Z͒ are the coordinates of any point in the chip. The effect of the secondary heat source along the tool-chip interface on the chip side is modeled as a nonuniform moving band heat source and the temperature rise at any point in the chip due to this heat source can be calculated with Eq. ͑8͒. The tool rake face and the upper surface of the chip are considered to be adiabatic. Since an imaginary heat source is added to the tool rake face to make this surface adiabatic, this image heat source will also have double heat intensity.
In Eq. ͑8͒, R i , R i Ј are the distances from heat sources. Nonuniform heat partition for the chip side, and nonuniform heat intensity are denoted by B 1 ͑l i ͒ and q pl ͑l i ͒, respectively. As a result, the temperature rise at any point in the chip can be found by Eq. ͑9͒ with the addition of room temperature T 0 .
2.2 Modeling of Temperature Rise in the Tool. The tool side of the secondary heat source is modeled as a nonuniform stationary rectangular heat source. The flank surface of the tool is modeled as adiabatic. The temperature rise on the tool side can be written as in Eq. ͑10͒.
where t is the thermal conductivity of the tool material. Since the lower surface of the chip is not adiabatic and in order to maintain continuity, the heating effect of the primary shear zone on the tool rake face should be included in thermal model. The heating effect of the primary shear zone on the tool rake face can also be modeled as an induced uniform stationary rectangular heat source. The intensity of the induced heat source is unknown at the beginning, but the average temperature rise caused by the primary shear zone is known. Therefore, by matching the average temperatures and considering the continuity, the induced heat intensity ͑q induced-rake ͒ and induced heat partition ͑B induced-rake ͒ can be calculated as in Eq. ͑11͒.
where
The tool side of the rubbing heat source can be modeled as in Fig. 3 where the tool rake face is modeled as adiabatic. According to the coordinate system given in Fig. 3 , the temperature rise at any point on the tool due to the rubbing heat source can be written as in Huang and Liang ͓7͔.
and VB is the length of the flank wear. The heat intensity of the rubbing heat source is modeled as nonlinear by multiplying the cutting velocity and shear stress distribution found from Waldorf's worn tool model. Since the machined surface of the workpiece is not adiabatic, there is a heat transfer in this area. Similar to the tool rake face, a stationary uniform rectangular induced heat source is modeled on the tool flank face. The heat intensity of the induced heat source is found by matching the known average temperature rise under the flank face of the tool caused by primary shear zone with the average temperature rise caused by induced stationary heat source. The induced heat partition parameters are adjusted to maintain continuity on the tool-workpiece interface.
The coordinate systems used for Eqs. ͑10͒-͑13͒ are different; therefore, in order to find the temperature rise at any point in the tool, a coordinate transformation is required. If the angle between flank and rake face is assumed to be 90 deg, the temperature rise at any point on the tool-chip interface can be written as
Similarly, the temperature rise at any point on the tool-workpiece interface can be written as
2.3 Modeling of Temperature Rise on the Workpiece. In order to model temperature rise on the workpiece, primary heat source is modeled again as a oblique moving band heat source which moves under the workpiece surface with cutting velocity as given in Komanduri and Hou ͓15͔. In their model, which is shown in Fig. 4 , the uncut workpiece surface is considered as adiabatic. The origin of the coordinate system in this model is assumed to be the end of flank wear width.
According to the given coordinate system, the temperature rise at any point on the workpiece is written as
The rubbing heat source is modeled as a band heat source moving along the tool-workpiece surface with cutting velocity as in Carslaw and Jaeger ͓13͔. The tool-workpiece interface is adiabatic and since the heat source does not move obliquely, the rubbing and its imaginary heat sources coincide as shown in Fig. 5 . The temperature rise on the workpiece can be written as
Thus, the temperature rise at any point in the workpiece can be written as
Solution for Temperature Distributions
In a similar study, Huang and Liang ͓5͔ used numerical analysis to calculate heat partition ratios, which resulted in computed temperature distribution only on the tool rake and flank interfaces, but numerical analysis cannot provide a full temperature distribution in the chip, tool, and workpiece. Therefore, we aim to obtain a solution for temperature distribution at any given point in the cutting zone and in the tool. Heat partition ratios B 1 ͑x͒ and B 2 ͑x͒ indicate the energy going into the chip and workpiece, respectively, and can be calculated through equilibrium conditions along adiabatic tool-chip and tool-workpiece interfaces. The necessary equilibrium conditions which should be satisfied simultaneously to calculate heat partition ratios B 1 ͑x͒ and B 2 ͑x͒ are given in Eq. ͑19͒.
The subscript denotes the temperature rise at that region and prime as superscript shows the necessity for a coordinate transformation to make calculations compatible. The heat partition ratio expressions, B 1 ͑x͒ for the heat exchange at the tool rake face and chip interface, and B 2 ͑x͒ for the heat exchange between tool flank face and workpiece interface, are adapted from Komanduri and Hou ͓14͔ and given in Eq. ͑20͒ and Eq. ͑21͒ 
The constants B chip , ⌬B 1 , m 1 , k 1 , C 1 , B workpiece , ⌬B 2 , m 2 , k 2 , C 2 which have an unique effect on the temperature distribution curves at the interfaces should be calculated by matching the temperature distributions along tool-chip and tool-workpiece interfaces by using equilibrium conditions given in Eq. ͑19͒. In the work of Komanduri and Hou ͓13͔, where only the tool-chip interface is considered, matching the temperature distributions on both sides of the tool-chip interface is achieved by a simple computer code. In the case of worn tools, simultaneous solution of the heat partition ratio expressions B 1 ͑x͒ and B 2 ͑x͒ poses a two-objective optimization problem, which necessitates an extensive computation effort. An additional concern is that, for a better fit in temperature distribution curves, more parameters in Eqs. ͑20͒ and ͑21͒ may be needed at the cost of increasing computational complexity. As a first step, in order to simplify the calculations, average heat partition ratios at the interfaces are calculated by matching average temperatures at the interfaces. Next, the heat partition equation parameters of Eqs. ͑20͒ and ͑21͒ are solved and nonlinear heat partition ratios along interfaces are found.
Prediction of Temperature Distributions
The thermal model of the worn tool is integrated into the forcestress and temperature prediction model given in Part I of this paper. In order to demonstrate the effect of tool wear on temperature distributions and other predictions some case studies for two different materials are considered here. The two workpiece materials chosen are AISI-1045 steel and AL-6061 T6 aluminum. 
Effect of Tool Flank Wear on Temperature
Distributions. For the cutting condition given, under the assumption of constant heat partition ratios, temperature distributions in tool, chip, and workpiece in machining AISI-1045 steel for flank wear width of 0.15 mm and for 0.3 mm are shown in Fig. 6 .
The temperature distributions given in Figs. 6͑a͒ and 6͑b͒ reveal that as width of flank wear increases the location of the maximum temperature at the tool-chip interface approaches the tool tip because of the combined effect of two heat sources. Figure  7 shows the temperature distributions in AL-6061 T6 for cutting condition V = 148 m / min, t u = 0.25 mm, ␣ = 0 deg with 0.15 and Transactions of the ASME 0.25 mm of flank wear.
The temperature distributions at the tool-chip interface at 0.15 and 0.25 mm flank wear remained nearly the same in AL-6061 aluminum which exhibited a different behavior than AISI-1045 steel. This difference can be attributed to different thermal properties of these materials. In AL-6061-T6 aluminum, the temperature distributions at the tool side and chip side of the tool chip interface are very similar which may eliminate the need to use complex heat partition expressions.
The investigation of variation of heat partition ratios with flank wear shown in Fig. 8 reveals that in AISI-1045 steel, for small values of flank wear, all the heat generated at the tool-workpiece interface and some energy from tool-chip interface is transferred into the workpiece whereas when the flank wear becomes large, some fraction of the rubbing heat is transferred into the tool and chip. These results show that for AISI-1045, increasing flank wear values affects the direction of heat transfer hence temperature distributions in the chip, tool, and workpiece. As for AL 6061-T6, tool chip interface does not seem to be affected by increasing tool wear values and for large values of tool wear; heat transfer is directed into the workpiece.
The maximum temperatures calculated at the interfaces for AISI-1045 is shown in Fig. 9 . While the tool-workpiece interface temperature increases quickly with increasing flank wear length, the tool-chip interface temperature increases slowly.
The results shown in Figs. 8 and 9 are similar to the findings of Wang and Liu ͓11͔. Since the development of flank wear slightly increases the tool-chip interface temperatures, shear angle also changes slightly as shown in Fig. 10 .
The temperature distributions at the tool-chip and toolworkpiece interface are given in Fig. 11 . The temperature distributions at the interfaces are matched by calculating suitable parameters of expressions given in Eqs. ͑20͒ and ͑21͒.
A closer match of temperature distributions could have been obtained by adding additional terms to heat partition ratio expressions. The distribution of the heat partition ratio for both interfaces is shown in Fig. 12 . The predicted temperature distribution isotherms under a non-linear heat partition assumption is computed and given in Fig. 13. 
Effect of Tool Flank
Wear on Tool Forces. Tool forces are also predicted in the presence of flank wear for various wear depths. Figure 14 depicts the cutting forces calculated according to Waldorf's ͓4͔ worn tool model for elastic contact conditions. The friction factor under tool flank face and workpiece is taken as 0.9, the prow angle is taken as 5 deg, and critical tool wear value 
Conclusions
This paper introduces a predictive modeling technique to determine forces, stresses, and temperature distributions in machining while considering influence of tool flank wear. The technique introduced in this paper combines oblique moving band heat source theory with nonuniform heat intensity at tool-chip interface and modified Oxley's parallel shear zone theory with ploughing effects due to tool flank wear to predict cutting forces, stress, and temperature distributions. The proposed technique has been applied to machining of AISI-1045 steel using a carbide tool, and promising results have been obtained. The results have helped explain the heat partition behavior of the tool-chip and toolworkpiece interfaces as width of flank wear increases. The same procedure can be extended to predict the depth of white layer on the machined surface. 
